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Abstract— Hairpin windings and spray cooling are becoming an
increasingly popular combination in the field of high-performance
electrical machine design. Machines adopting hairpin windings
can achieve higher torque and power densities while enabling
them to be manufactured automatically on a large scale to meet
the rapid market growth of electric transport. Spray cooling is an
effective way for high heat flux removal, which has shown great
potentials in electrical machine applications. Although spray
cooling has been studied for decades in different engineering
applications, the focus had been on investigating its performance
on regular surfaces using low-viscosity liquids, such as water.
Additionally, many existing models for spray cooling heat transfer
were built on spray parameters that are difficult to obtain without
specialist equipment. Thus, most results from previous studies are
difficult to be interpreted and directly applied to electrical
machine applications. Practical and economical approaches for
estimating the heat transfer coefficients of spray cooling on
hairpin windings are needed. This paper proposes and validates
an experimental approach based on reduced-parameter models
which can be applied to predict the heat transfer coefficient of
spray cooling setups on hairpin windings.

Index Terms— cooling, spraying, electric machines

[. INTRODUCTION

ECENT developments in transport electrification have

increased the need for electrical machines with improved

performance metrics [1, 2]. Machines with higher power
density and improved cost-performance are always crucial in
road, waterborne, aeronautics and rail transport electrification
according to the European Commission [3]. The United States
Department of Energy (DoE) has also established a series of
goals to achieve a power density target of 33kW/L and a cost
target of $6/kW for a 100 kW electric traction drive system by
2025 [4]. To achieve such goals, one of the main trends,
especially in the electrification of road transport is to use
electrical machines with directly-cooled hairpin windings. Key
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companies in the automotive industry have adopted this
combination including General Motors, Toyota, Honda, and
BorgWarner [5-7]. Hairpin-winding technologies,
characterized by the use of rectangular conductors in the slot,
can effectively achieve higher slot fill factors, with
consequently lower DC copper losses amount and higher power
densities [8-10]. The regular geometry of hairpin windings can
also contribute to heat dissipation when combined with direct
oil cooling, where oil is in direct contact with the windings and
can flow through the gaps between the hairpins. Although such
combinations show great potential in benefiting the
performance-metrics of the machine, there is only a relatively
small amount of literature that has been published regarding this
topic. Wearing et al. [11] designed and manufactured a
frameless permanent magnet motor with hairpin windings
cooled by oil which was sprayed from the rotor shaft, however,
the estimation procedure of the cooling performance is not
reported. Park and Kim [12] numerically simulated the cooling
phenomenon of a similar setup where the cooling oil was
sprayed onto the end-windings from the rotor shaft, and the
results were validated with experiments. Such cooling setup
often requires dynamic sealing to transfer the oil from a
stationary supply to the rotating shaft, which brings extra
complexity to the design. El-Refaie et al. [13] developed a
motor for traction applications and compared three cooling
designs including (i)stator cooling jacket with microchannels,
(ii)cooling tubes inside slots and (iii)end-winding spray
cooling. The authors concluded that the spray cooling
arrangement was the most effective and relatively simple in
terms of design complexity. However, the key performance
parameters such as HTC (heat transfer coefficient) are not
reported.

Spray cooling has been studied for a long time in various
engineering disciplines, mainly for its extraordinary merits in
high heat flux removal [14]. There have been significant studies
carried out in the last few decades focusing on developing
models for spray cooling under various operating conditions.
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Rybicki and Mudawar [15] developed a correlation between the
Nusselt number (Nu), the Reynolds number (Re), and the
Prandtl number (Pr) for single-phase spray cooling regime
based on the mean volumetric flux of the spray together with
the Sauter mean diameter of the droplets. Karwa, Kale and
Subbarao [16] proposed a simpler correlation between 'Nu' and
'Re' based on water spray. More such correlations can be found
in [17-22]. Most of these studies have proposed correlations
based on dimensionless numbers which have forms similar to:

Nu = aRe?Pr¢ (1)

where a, b and ¢ are empirical constants. Usually, these
correlations are established within a wide range of parameters,
which makes them applicable to different types of nozzles,
types of liquid and operating conditions. However, when trying
to apply these correlations for spray cooled electrical machines,
researchers/engineers often face a number of challenges.

Firstly, most of the aforementioned correlations require
knowledge of mean droplet diameters to serve as characteristic
lengths, which usually can only be measured with technologies
like phase-Doppler anemometry or high-speed photography
combined with laser illumination [23]. Such techniques often
require significant investment of funding, time, and personnel,
which may not be readily available in most electrical machine
research laboratories.

Secondly, the calculation of these dimensionless numbers
often requires the knowledge of the coolant’s properties under
certain temperatures, such as thermal conductivity, specific heat
capacity, viscosity, etc. These properties may not be provided
by the fluid manufacturers, and measuring such properties often
requires special equipment as well. A further issue is that most
of these correlations are validated within specific ranges of
parameters using lower-viscosity liquids. As a result, one
cannot assume the fitness of these existing correlations if high-
viscosity liquids, for example engine oil, or transmission fluid,
are used as the actual operating parameters are quite likely to
deviate from the validated range of these correlations. Using
different nozzles and inlet pressures may also further
complicate the issue.

From the foregoing discussion, thus far, there is not any
established, validated, readily applicable method for predicting
the oil-spray cooling performance in electrical machines with
hairpin windings. This paper attempts to provide a practical and
economical approach that can be easily used within most typical
electrical machine research environments to achieve the
aforesaid goals. This paper is organized as follows: Section II
establishes a reduced-parameter model for estimating the HTC
of spray cooling and explains its use with hairpin windings.
Section III presents the experimental process of determining the
constants in the reduced-parameter model. An existing stator
with hairpin windings is used in Section IV to validate the
proposed model with determined constants. Finally, Section V
summarizes the findings of this research.

II. ESTABLISHING THE REDUCED-PARAMETER MODELS

When designing the cooling system of an electrical machine,
the type of coolant, inlet temperature, flow rate and system
pressure are often predetermined by the application, which

omits the need to formulate a general correlation for fluids other
than the required one, or for flow rates/system pressures outside
the permitted range. Hence a conveniently reduced-parameter
model can be produced from conventional models as follows.

With definitions of the dimensionless numbers, (1) can be
rewritten as:

hLe/k = a(ucLe/v)?(cou/k)” )

where 4 is the HTC with a unit of W/(m?K), L. is the
characteristic length with a unit of m, u. is the characteristic
velocity with a unit of m/s, v is the liquid’s kinematic viscosity,
¢p 1s its specific heat capacity, u is its dynamic viscosity while
k is its thermal conductivity. In this study, the properties of the
coolant are considered as constant since the same type of oil is
used for all spray cooling experiments with constant inlet
temperature. Therefore, the thermal conductivity, density,
viscosity and specific heat capacity of the coolant in (2) can be
omitted, and (2) is simplified to:

h = qulrb—1 (3)

It should be noted that the constants in (3) are not the same
as those in (2), and (3) only applies to a specific type of liquid
at a constant temperature. There are multiple ways to define
characteristic velocities and lengths. For characteristic velocity,
both the mean droplet velocity and the mean volumetric flux are
often used [15, 17, 18].

The mean droplet velocity appears to be a preferable way
since it is a velocity, which adheres to the definition of
Reynolds number. However, the mean droplet velocity can be
difficult to measure in real applications, as discussed in the
previous section.

The mean volumetric flux is defined as the spray’s effective
volumetric flow rate, which is the flow rate of the coolant that
lands on the impingement surface divided by the area of the
impingement surface [18]. This quantity is easier to calculate
since it only requires some basic operational parameters that
can be conveniently measured with basic equipment, and it has
the same dimensions as velocity (LT-"). In this study, the mean
volumetric flux is deemed as a preferable way to represent the
characteristic velocity. Therefore (3) becomes:

h =aVPLb1 (4)

where V is the mean volumetric flux. From literature [15-22],
the characteristic length in (4) can often be defined as (i)a length
scale related to the dimensions of the impingement surface,
such as diameter, length and the square root of the surface area,
(i)the film thickness on the impingement surface or (iii)the
mean droplet diameter. Since the diameter of the impingement
surface is included in the calculation of the mean volumetric
flux, and the film thickness on irregular surfaces, for example
the end-windings’ surface, is difficult to measure, the mean
droplet diameter seems to be a better way for defining the
characteristic length.

Due to the random nature of the atomization process, the
diameters of the droplets generated varies in size [21]. In order
to characterize the droplet diameters more conveniently, the



Sauter mean diameter (SMD or d3,) is often used in the analysis.
It is defined as the diameter of a droplet whose volume-to-
surface area ratio is the same as that for the entire spray sample
[14], which can be calculated by:

_ Yind} (5)
5 Yind}
where n; is the number of droplets that shares a diameter of di.

As with the case of droplet velocity, the measurement of
droplet diameters requires specialist techniques like laser-
Doppler anemometry or particle image velocimetry. Several
analytical and empirical correlations have been developed in
the past by a number of researchers, for example, by Couto et
al. [24], Estes and Mudawar [21], to estimate droplet diameters
without the need to conduct complicated experiments.
However, most of these correlations are either only applicable
for specific types of nozzles or require the precise knowledge
of the nozzle’s internal structural dimensions and coolant’s
physical properties, both of which may not be conveniently
revealed by the suppliers or measured without special
equipment. Nevertheless, the problem can be simplified,
considering the scope of this study. The theoretical formulation
for SMDs of pressure-swirl nozzles proposed by Couto et al.
[24] can be written as:

1
ds, = 0.041(m?m%0? cos* 8 p2(1 — x)?Ap;3p; )6

1,02 (6)
(1 + 0.04u; Ap (mrip2(1 — x) cos™7(8) a‘spfs)i)
where m is the mass flow rate, ¢ is the surface tension of the
liquid, @ is the spray cone half-angle, pi is the density of the
liquid, Apy is the nozzle pressure differential, p, is the density
of the air, and x is the ratio between the air core area and the
discharge orifice area of the nozzle, which can be calculated by:
x =sin?8/(1 + cos? ) (7
For a specific nozzle that is spraying a specific type of liquid
into the atmosphere at constant temperature, the surface tension
of the fluid, together with the densities of the liquid and the air
can be considered as constants [25]. In such cases, the mass
flow rate of the liquid and the spray cone half-angle solely
depend on the nozzle pressure differential. Therefore, the only
independent variable in (6) and (7) remains to be the nozzle
pressure differential, which is equal to the gauge pressure at the
nozzle’s inlet, namely pi,, if the nozzle sprays into the
atmosphere. Thus, it can be concluded that the droplet diameter
solely depends on the inlet pressure of the nozzle as long as the
other parameters remain constant in the process. This
conclusion enables designers to use the nozzle inlet pressure to
serve as the characteristic length, and (4) becomes:
h = aV’pf, (8)
From the foregoing discussions, hence, the form of the
reduced-parameter model for spray cooling HTC is established.
Compared to the correlations in previous literature, (8) is
considerably simpler, which enables the parameters to be

determined with a simple experimental setup which only needs
to measure the HTC while varying the mean volumetric flux
and the inlet pressure of the nozzle. The determination of the
mean volumetric flux is explained below.

For a circular impingement surface, as shown in Fig. 1, the
mean volumetric flux of the liquid can be calculated based on
the model developed by Mudawar and Estes [22] as:

; ; _ 2 -05
gV _V a-Q+r?/p%) ©
A A 1 —cos(a/2)

where V. is the effective volumetric flow rate, 4; is the area of
the impingement surface, which is represented by the red circle
in the figure, V is the total flow rate that discharges from the
nozzle, r; is the radius of the impingement surface, D is the
nozzle height, which is equal to the distance between the nozzle
orifice and the impingement surface, while a is the spray angle.
Equation (9) is based on the assumption that the volumetric flux
along any spherical surface that is centered at the nozzle outlet
is the same, which has also been validated for full-cone nozzles
by Mudawar and Estes [22].

Impingement surface

Spray cone

Nozzle

Fig. 1. The dimensions related to the determination of the amount of oil sprayed
onto the impingement surface.

With trigonometric manipulations, equation (9) can be
transformed into:

2nD*(1— (1+7r2/D*)™*%) VvV ¢
2nD?(1 —cos(a/2))  4; C,

oV
-5

where C; and C; are the areas of the spherical caps shown in
Fig. 1. Equation (10) can then be further transformed into:

vV ¢,D72 VvV Q
.= =_—.1 (11)
A; C,D2 A Q,

where Q) and Q; are the solid angles subtended onto the nozzle
orifice by the impingement surface and the spray cone as shown
in Fig. 1 [26]. Equation (11) can be used to calculate the mean
volumetric flux on any object as long as the object’s solid angle
and surface area can be determined.

By way of example, consider the case where the end region
of a stator with hairpin windings is being sprayed on from the
axial direction as shown in Fig. 2; in such case Q; is subtended
by the portion of the end-winding’s axial projection that is

(10)



covered by the spray region, indicated by the area shaded in
dark blue. To simplify the problem, this portion of the end-
winding’s projection can be transformed into a rectangle,
indicated by the red rectangle in the same figure. The rectangle
has a width equal to that of the end-winding and a length which
is equal to the diameter of the spray region, which can be
calculated by:

l =2r, = 2Dtan(a/2) (12)
where / is the length of the rectangle and r; is the radius of the
spray region. The solid angle subtended by the rectangle onto
the nozzle orifice can be calculated by [27]:

2D(4D% + w? +12) 1*°

(13)
(4DZ + 12)(4D? + w?)

Q, =4cos™?!

where w is the width of the rectangle, which is equal to the
width of the end-winding. Equation (13) can then be used in
(11) to determine the mean volumetric flux on the end-winding.

Spray region radius, 7 Nozzle distance, D,

Spray angle, a Hoezle

End-winding width

Back iron

Fig. 2. Determining the mean volumetric flux in an axial-spray setup.

The cover angle f can be calculated by [28]:

B = 2acos[(2r2 — D? tan?(a/2))1,52/2] (14)
where rp, is the mean radius of the end-winding (for the case in
hand equal to 180.1 mm) as shown in Fig. 2. Consequently, the
impingement area can be calculated by:
A; = NBA, (15)
where N is the number of nozzles used in the cooling setup and
A, is the end-winding area, the determination of which will be
discussed in Section III.

Alternatively, the oil spray can also be provided from the
radial direction, as shown in Fig. 3. In this case, the calculations
can be done in a similar manner. To facilitate the calculation, a
cartesian coordinate system is built as shown in the same figure,
with its origin, O, lying on the nozzle outlet and its x-axis
pointing to the center of the stator, O’. The upper boundary of
the spray cone (indicated by the dotted blue lines) intersects the
outer diameter of the end-winding at point A (x1, y1).

It can be seen that in this case €, is subtended onto the nozzle
outlet by a rectangle that has a width equal to the end-winding

height and a length equal to 2y, which is represented by the red
line in Fig. 3. Therefore, Q; can be solved using (13) in a similar
way once y; is determined.

rh A(XI’YI?/

Cover angle,

~Nozzle distance Dq

Spray angle, o T

Fig. 3. Determining the mean volumetric flux in a radial-spray setup

The cover angle in this case can be found by solving the slope
of AO’. Line OA can be expressed by:

y =tan(a/2) x (16)

The outer circle of the end-winding can be expressed by:
(x—71eo = D) +y? =14 (17)

where 7, is the outer surface radius of the end-winding (for the

case in hand equal to 96.8 mm) as shown in Fig. 3. With (16)
and (17), x1 and y; can be determined by solving :

1 = ante/2) s
(1 —Teo — D)* +yf = rezo
Once x; and y; are solved, f can be calculated by:

B = 2acos(y1/Teo) (19)

and 4; can subsequently be calculated with (15). Note that (15)
is only valid for Nfp<2z. Otherwise, the spray regions of
neighboring nozzles will intersect, and 4; is deemed to be the
same as 4. Once 4; is determined, it can then be used in (11) to
determine the mean volumetric flux on hairpin windings in
order to apply the reduced parameter model.

III. EXPERIMENTAL VALIDATION

This section attempts to validate the proposed method
through a series of experiments. First, the reduced-parameter
model of HTC for two different hydraulic nozzles, hereafter
referred to as nozzle A and nozzle B are established. Both these
nozzles are full-cone pressure-swirl nozzles, but they have
different spray angles, flow-rate capacities, and atomization
capabilities. Details regarding the nozzles can be found in [28].
It should be noted that the proposed method does not apply to
nozzles that cannot produce a full-cone spray, since these
nozzles do not cover evenly the impingement surface, rendering
the calculation of the mean volumetric flux meaningless. The
constants in (8) are estimated by conducting practical tests



under controlled conditions using a relatively simple and
economical experimental setup. The resulting models can then
be used to estimate the HTC of spray cooling designs on hairpin
windings using the two proposed nozzles. In the final part of
this section, another experimental setup with actual hairpin
windings is used to measure the HTC of spray cooling, and the
results from this are compared to the results estimated from the
proposed reduced-parameter models to deduce some practical
guidelines.

A. Determination of the Reduced-parameter Models

1) Design of the Experimental Setup

From the foregoing discussions, the experimental setup
needs to be capable of varying (i)the nozzle pressure
differential, as well as, (ii)the mean volumetric flux, in order to
provide results for identifying the constants in (8). For a circular
target, (8) can be rewritten as:

_ V tan(atan(r;/D) /2) b .
h=a nriz (D2 + ri2)0-5 sin(a/2) tan(a/4) Pin (20)

From the above equation, it is apparent that the mean
volumetric flux can be varied by changing the nozzle height
while maintaining the impingement surface radius. On the other
hand, the nozzle pressure differential can be adjusted by
altering the nozzle inlet pressure if the downstream pressure is
kept constant.

In light of this, an experimental setup is designed based on
previous studies and established standards [18, 21, 29-31]. The
test section of the setup is shown in Fig. 4, which consists of an
inlet, a nozzle and a meter bar. The nozzle can be fixed at
different heights, thus varying the mean volumetric flux. The
oil flows in from the inlet, entering the nozzle through a tee
connector, where a type-K thermocouple is fitted to measure the
inlet temperature, and sprays onto the impingement surface of
the meter bar, before exiting the test section.

Inlet “
Inlet Thermocouple
Nozzle

Impingement surface

Thermocouples (T,-Ts5)—

Meter Bar (Copper)
Insulation Jacket (PTFE)+

|

Thermocouples—

Cartridge Heaters

@ O O ()

Fig. 4. The test section of the spray cooling experiment. (a) Cross-sectional
view; (b) Top view, magnified, meter bar only.

The meter bar is designed to be a precisely machined
cylindrical copper bar which has five type-K thermocouples
(numbered through T1 to T5) mounted with a fixed distance in
between. Four 12-Volt 25-Watt cartridge heaters are inserted
into the bottom of the meter bar. During the experiment, the
cartridge heaters are powered by a DC power supply,

generating heat which flows through the meter bar before being
removed by the oil spray via the impingement surface. The
meter bar is inserted into an insulation jacket made from PTFE
(Polytetrafluoroethylene), which reduces heat losses through
the cylindrical surface of the meter bar.

During the experiment, a temperature gradient is induced
within the meter bar in the axial direction, which is measured
by the thermocouples. Since the dimensions and the thermal
properties of the meter bar are known, the rate of the heat flow
through the meter bar, O, can be calculated by:

Q = kc AAT/L (21)
where kc, is the thermal conductivity of copper, while AT and
L are the temperature difference and distance between two
thermocouples, respectively. The impingement surface area (4;)
is the cross-sectional area of the meter bar. The mean surface
temperature of the impingement surface, namely 75, can be
derived from the temperature readings of the five
thermocouples using linear regression. Once O, Ts and the inlet
temperature 7i, are known, the HTC can be determined by:
h=Q/(Ai(Ts — Tin)) (22)
In order to deliver oil to the test section with the required
temperature and flow rate, a fluid system is designed, as shown
in Fig. 5. The oil first comes out of the oil temperature unit,
which regulates the temperature of the oil, then goes through an
8-micron filter before entering the high-pressure pump. The
high-pressure pump can boost the oil pressure supplied to the
nozzle to enable proper atomization of the oil. A positive
displacement flow rate sensor and a pressure sensor are attached
to measure flow rate and pressure, following which the oil
enters the test section and sprays onto the impingement surface.
The oil is then removed by a scavenge pump located at the
outlet of the test section. A bypass line is located after the high-
pressure pump to adjust the flow rate of the oil. The coolant
used in this study is a synthetic lubricant, and its properties have
been reported in [28].

High pressure pump Flow sensor

|

Pressure sensor |_1est section |

Bypass E — Tmlcl
valve X I__—l

Filter : Ti-Ts
DAQ system \
: ‘ . — )
| P W To heaters
Oil temperature . @
control unit Y4

Scavenge pump

Fig. 5. Fluid system setup of the spray cooling test chamber.

All sensor and thermocouple readings are recorded by a data
logger every 10 seconds, and the HTC is calculated based on
(22). The results are averaged over 5-minute periods to reduce
noise. The thermal equilibrium is determined when the change



of HTC within 5 minutes is below 1%. After this, the
experiment is carried on for another 20 minutes to ascertain that
the steady state has been reached. Based on the spray angles of
the two nozzles and (9), the relationship between the nozzle
height and the ratio of the effective to the total flow rate is
determined and presented in Fig. 6. It can be seen from the
results that when the nozzle height is below certain thresholds,
the entire spray is caught by the impingement surface,
achieving a ratio of 1. However, under such circumstances, it is
likely that the outer rim of the impingement surface is not
subject to the direct impact of the oil spray and additional errors
may occur. As a result, all experiments should be conducted
with nozzle height above these thresholds in order to obtain
reliable results.

—_
58}

Nozzle A
Nozzle B | 7

—

N g o
-Jk N 0
T T T

o
)
T

Effective flow rate / total flow rate
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0 10 20 30 40 50

Nozzle height (mm)
Fig. 6. Ratio of effective to total flow against nozzle height for the two
considered nozzles.

2) Experimental Results and Parameter Estimation

A series of experiments are conducted with different inlet
pressures and nozzle heights for both nozzle A and nozzle B. A
nonlinear regression analysis is then carried out using
commercial software to estimate the parameters using the
experimental results. Regression models for the two nozzles are
found to be:

Rnozzie a = 99301 0-652p0:192 (23)

hnozzie B = 562V0'432pi0ri310 (24)
The regression models and the experimental results are
presented in Fig. 7 and Fig. 8. The colors of the surfaces
correspond to the values of HTC. As can be deduced from these
figures, the trends predicted by the models follow the
experimental data quite well. As the inlet pressure is increased,
the HTC increases. Furthermore, the HTC increases
proportionally with the mean volumetric flux. However, as can
be seen for some cases, there are some deviations (represented
by the error bars), which may be due to the randomness of the
spray distribution. The standard deviations for nozzle A and
nozzle B are 635 W-m?2-K-! and 181 W-m?2-K"!, respectively.

B. Validation of the Reduced-parameter Models

To validate the models described by (23) and (24), a bespoke
experimental setup is developed on an existing automotive
hairpin stator, as shown in Fig. 9. The stator has a 72-slot 2-
layer configuration. The stator inner diameter is 160 mm, and

its outer diameter is 215.3 mm, while the stack length is 60 mm.
The dimensions of the hairpin wire are 3 mm by 4 mm. The
setup can provide oil spray onto the end region of the stator
while measuring necessary parameters to determine the HTC of
the spray cooling. Further details of the setup have been
reported in [28]. Both nozzles considered in this research are
tested with the axial-spray configuration with up to 12 nozzles,
as shown in Fig. 9 (a), whereby the oil is sprayed onto the end-
winding on the axial direction from the endcap. Additionally,
nozzle A is also tested within a radial-spray configuration with
three nozzles, as shown in Fig. 9 (b), whereby the oil is sprayed
onto the end-winding radially from the left, right and top
directions.
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Fig. 7. Regression model and experimental results of nozzle A.
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Fig. 8. Regression model and experimental results of nozzle B.
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Fig. 9. Experimental setup for validating the proposed model. (a) Axial-spray
setup; (b) Radial-spray setup.



The HTCs in these experiments are calculated by:

h = Qs/(NBA:(Te — Tin)) (25)
where Qs is the rate of heat flow dissipated by the oil spray,
while Tt is the mean temperature of the end-winding measured
by 24 thermocouples evenly mounted inside. The end-winding
area 'd.' is a critical parameter, which can be calculated in
multiple ways as subsequently discussed. The rate of heat flow
dissipated by the oil spray is calculated by subtracting the heat
flow rate leaking to the environment from the power injected to
the windings by the power supply as described in more detail in
[28].

As with other studies of heat-transfer on electrical machines,
at a fundamental level the geometry of an end-winding can be
simplified into a half-bagel model [32, 33] as shown in Fig. 10.
The simplest way to determine A. is to use the projection area
of the end-winding (EP). For axial-spray setups, the axial
projection of the end surface, which is indicated by the green
surface in the figure, can be used since it is directly facing the
spray, and it can be calculated by:

A = T[(reo - rei)z (26)

where 7. is the inner surface radius of the end-winding (83.3

mm in this case). On the other hand, for radial-spray setups, the

radial projection of the end-winding can be used:

A, = 2nr, H, 27

where H. is the height of the end-winding (25 mm in this case).

This method (EP) gives the smallest end-winding area among
all the options considered in this paper.

Stator laminations

Outer surface

Active winding

—

the stator end région with related parts and

Fig. 10. A simplified model of
dimensions marked out.

The second method to determine 4. is to use the actual area
of the curved surface of the end-winding (ES). For axial-spray
setups, this is the area of the end surface, while for radial-spray
setups this is the sum of the outer surface area and part of the
end-surface area that is subject to the spray. This approach gives
a slightly larger contact area than the first method does.

The third method is to use the outer surface area of the entire
end-winding (EE), which is the sum of the areas of the end

surface, inner surface and outer surface as shown in Fig.10. It
can be calculated by:

Ao = 211y Pog (28)
where P is the perimeter of the end-winding cross-section,
which is indicated by the dashed black line in Fig. 10. Both the
second and the third methods require the knowledge of the
contour of the end-winding geometry.

The fourth method considered in this paper to determine A.
is to calculate the area based on the surface area of individual
wires (AS), which gives the maximum area amongst all the four
methods discussed in this study. The most suitable definition of
A. is determined below based on experimental results.

A large number of experiments are carried out with the two
nozzles under various oil flow rates, inlet pressures and
numbers of nozzles. To investigate the difference between
various methods for calculating the end-winding area, the HTCs
are calculated with all the four aforementioned methods. The
results are shown in Table I, where the percentage error
between the experimental results (from (25)) and the results
calculated from the proposed model (from (23) and (24)) are
used to evaluate the feasibility of different approaches of
defining A4.. A positive error indicates the proposed models
overestimate the experimental results and vice versa.

TABLEI
COMPARISON BETWEEN EXPERIMENTAL AND THEORETICAL RESULTS
y Average HTC
Nozzle Method (mnelz) (W-m2-K") Error
Experiment Model
EP 7,638 11,795 6,757 -42.7%
A ES 11,998 7,509 5,034 -33.0%
(axial) EE 35,928 2,507 2,463  -1.8%
AS 86,400 1,043 1,390  33.3%
EP 15,205 7,301 6,113  -16.6%
A ES 17,100 6,492 5,662 -13.2%
(radial) EE 35,928 3,000 3,490 12.4%
AS 86,400 1,285 1,970  52.6%
EP 7,638 5,661 2,964 -47.6%
B ES 11,998 3,604 2439 -323%
(axial) EE 35,928 1,203 1,519  26.2%
AS 86,400 500 1,040 107.8%

It is apparent that the results from the two nozzles behave
differently to the change of A.. When using the end-winding
projection area (EP) as A., axial-spray setups yield a large
underestimation of 42.7% and 47.6% for nozzle A and B,
respectively. These values close in to around 33% when using
the end-winding surface area (ES). However, the errors of the
two nozzles begin to deviate from each other and eventually
result in an overestimation of the HTC as the end-winding area
increases further. On the other hand, the radial-spray setup
using nozzle A yields smaller underestimations when calculated
with the end-winding projection area (EP) and the end-winding
surface area (ES). When using the entire end-winding area (EE)
for the calculation, the axial-spray setups using nozzles A
achieve a very small error, whereas the other two groups show
overestimation. Finally, using the actual all-wire surface area



(AS) causes overestimation for all setups.

From this study, using the end-winding surface area (ES) is
deemed to be a more favorable approach, which yields
underestimations of HTC for all three setups, providing
appropriate safety margins for the thermal design of electrical
machines, with the detailed results presented in Fig. 11 and Fig.
12. In Fig. 11, it can be seen that the proposed model achieves
underestimation for all experimental result points, and the
results from all three setups follow the model line well. On the
other hand, the proposed model in Fig. 12 achieves
underestimation for all experimental result points except for
one point, and the agreement between the proposed model and
the experimental results reduces as the number of nozzles
decreases. The findings indicate that the accuracy of the model
may be affected by both the type as well as the number of
nozzles. Thus, appropriate cautions need to be taken in using
the proposed method, especially when carrying out experiments
with insufficient spray coverage of the end-windings, or when
operating nozzles towards the lower-end of their inlet pressure
requirement.
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Fig. 11. Comparison between experimental and theoretical results for axial-
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It can be seen from the results that the proposed models can
reflect the general trend of the experimental results. In
particular, the overall trends expressed by the experimental
results of nozzle A are in good agreement with the proposed
model for all cases. In contrast, results from the type-B nozzle
show larger discrepancies to the model, and such behaviors are
different for the three setups with different numbers of nozzles.

The discrepancies on the general trend are observed to increase
as the number of nozzles decreases. This suggests that the
reduced-parameter model’s ability to estimate the HTC of oil
spray cooling designs may vary between different types and
numbers of nozzles in use.

In addition, results in Fig. 11 suggest that the radial-spray
setup may be less effective compared to the axial-spray setup
for the type-A nozzle under similar operating conditions. The
reason behind this phenomenon may be that in axial-spray
setups, the oil spray landing outside of the end-winding surface
tends to flow downward along the back-iron, which may
intersect with the end-winding at some point and contribute to
the total heat transfer in the process. On the other hand for
radial-spray setups, part of the oil spray that is not caught by the
end-winding eventually reaches the inner face of the endcap and
flows down to the outlet without getting in contact with the end-
winding. As a result, axial-spray setups tend to be slightly more
effective compared to the radial-spray setups.
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Fig. 13. Comparison between experimental and theoretical results for nozzle A
with the contact area increased by a factor of 2.66.
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Fig. 14. Comparison between experimental and theoretical results for nozzle B
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As shown in Table I, the accuracy of the model is greatly
affected by the value of the contact area. Thus, it is possible to
enhance the model accuracy by compensating for A4.. It is found
that increasing 4. by a factor of 2.66 and 2.14 for nozzle A and
B can reduce the mean absolute percentage deviation of the
models down to 12.6% and 12.3% respectively. The results are
shown in Fig. 13 and Fig. 14. In particular, the axial-spray
setups using nozzle A and the twelve-nozzle-B setup can be
better described with the reduced-parameter model. Exact



values of the area modification factor may be nozzle-type-
dependent. Further research is required to identify the nature of
this factor.

IV. CONCLUSIONS

The present study was undertaken to develop a practical and
economical method for predicting HTCs of oil spray cooling
arrangements on hairpin windings. The study has shown that in
typical electrical-machine-design environments, reduced-
parameter models can be established based on specific design
constraints, which enable the use of simple experimental setups
to determine the constants in the model. These can then be used
to estimate the cooling setup’s performance on real electrical
machine designs. The required calculation procedures for
applying the model onto hairpin windings have also been
described. The proposed method was validated using an
existing stator with hairpin windings. Several approaches for
calculating the end-winding area have been proposed and
compared, among which a conservative way based on the
curved surface area is proposed for providing safer estimations.
Considering the complexities with spray cooling of hairpin
motors, results for both nozzles shown agreement to the
estimated values with reasonable deviations. It should be noted
that in the use of the proposed method, readers should make use
of appropriate judgement if their case-in-hand features
markedly dissimilar characteristics to the case presented in this
paper, for example if a very high layer number of pins is used,
or for the case of small spray angles.

For future studies, the authors will attempt to investigate
other factors, such as rotational effects, and their impact on the
performance of spray cooling in electrical machines.
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